Abstract: Miniature wind turbines, employed in wind tunnel experiments to study the interaction of turbines with turbulent boundary layers, usually suffer from poor performance with respect to their large-scale counterparts in the field. Moreover, although wakes of wind turbines have been extensively examined in wind tunnel studies, the proper characterization of the performance of wind turbines has received relatively less attention. In this regard, the present study concerns the design and the performance analysis of a new three-bladed horizontal-axis miniature wind turbine with a rotor diameter of 15 cm. Due to its small size, this turbine, called WiRE-01, is particularly suitable for studies of wind farm flows and the interaction of the turbine with an incoming boundary-layer flow. Especial emphasis was placed on the accurate measurement of the mechanical power extracted by the miniature turbine from the incoming wind. In order to do so, a new setup was developed to directly measure the torque of the rotor shaft. Moreover, to provide a better understanding on the connection between the mechanical and electrical aspects of miniature wind turbines, the performance of three different direct-current (DC) generators was studied. It is found that electrical outputs of the tested generators can be used to provide a rather acceptable estimation of the mechanical input power. Force and power measurements showed that the thrust and power coefficients of the miniature turbine can reach 0.8 and 0.4, respectively, which are close to the ones of large-scale turbines in the field. In Part II of this study, the wake structure and dynamic flow characteristics are studied for the new miniature turbine immersed in a turbulent boundary-layer flow.
Introduction
Wind tunnel experiments have become an increasingly valuable tool to elucidate the performance of wind turbines and their wake characteristics [1] . A deep understanding of the wind turbine interaction with the atmospheric boundary layer (ABL) is essential as wind turbines operate in the ABL flow. Due to the unsteady nature of the ABL flow, wind turbines are subject to different incoming flow conditions (e.g., different wind direction and magnitude). Different scenarios of the ABL interaction with wind turbines can be simulated in a wind tunnel under fully controlled conditions. Additionally, as many wind turbines in wind farms have to operate in the wakes of upwind turbines, the study of the cumulative effects of turbine wakes in wind farms is of great importance. This goal can be achieved by performing wind tunnel simulations of the flow field in wind farms consisting of miniature wind turbines. Moreover, the usefulness of techniques to optimize the power production of the whole wind farm (e.g., yaw and pitch angle controls) can be first examined experimentally in wind tunnels.
In the light of the above-mentioned benefits of wind tunnel experiments, they have been widely used in the wind-energy community to study wind turbines and their wakes (e.g., [2] [3] [4] [5] [6] [7] [8] [9] [10] [11] [12] [13] [14] [15] [16] [17] [18] [19] [20] [21] ). However, 
where T is the total thrust force exerted on the turbine by the incoming wind, P is the power extracted by the turbine from the incoming wind, ρ is the air density, d is the rotor diameter andū h is the mean streamwise incoming velocity at hub height. The overbar denotes temporal averaging. The value of C P reflects the ability of the turbine to extract power, and the overall strength of the turbine wake is determined by the value of C T [22] . Although some of the wind-tunnel studies in the literature (e.g., [23, 24] ) have tried to optimize the performance of miniature turbines, in general, values of C P and C T in most of the prior wind-tunnel studies of turbine wakes under boundary-layer inflow conditions are much lower than those of large-scale turbines. This calls for a better design of miniature turbines in order to attain more realistic values of C T and C P . Another remaining challenge for wind tunnel studies of wind turbines concerns the accurate measurement of the wind turbine performance. As an example, the magnitude of the turbine extracted power for a miniature turbine with d = 15 cm andū h = 5 ms −1 is smaller than 0.5 W, which makes it difficult to measure accurately. The extracted power (i.e., mechanical power P mech ) for a turbine can be expressed as a product of the shaft torque Q sh and the rotational velocity of the rotor Ω. This mechanical power is then converted to the electrical power in the generator attached to the rotor. The shaft torque Q sh of model turbines with relatively big rotor diameters (d > 50 cm) has been directly measured in former wind-tunnel studies (e.g., [25, 26] ). However, to our best knowledge, only a few studies in the literature have tried to directly measure the shaft torque of smaller miniature turbines, designed to study the interaction of turbines with turbulent boundary layers. This is due to low values of the shaft torque and also space limitations. Kang and Meneveau [27] measured the torque by mounting the generator inside a cylindrical housing with internal ball bearings where the rotation of the generator is prevented by the deflection of a strain-gauge sensor. Later, Howard et al. [28] used a similar concept to measure the mechanical torque. Instead of using a strain-gauge sensor, they measured the torque by adding known weights to the customized moment arm attached to the generator. In spite of the merit of these studies, the calibration procedure of these methods is rather cumbersome and they cannot be easily applied to different operating conditions. Some previous studies (e.g., [29] ) used P el to characterize the wind turbine performance as it can be easily measured. The value of P el is, however, smaller than P mech due to the mechanical and electrical losses in the generator. More importantly, as the electrical power is affected by the characteristics of the generator [27] , it will be shown later that the use of electrical power can lead to misleading information about the performance of the wind turbine. Some other studies (e.g., [18, 19, 30, 31] ), instead, benefited from known equations of direct-current (DC) generators to estimate the mechanical power from the electrical outputs. However, Kang and Meneveau [27] questioned the validity of this method. Therefore, it is unclear whether this method can reliably estimate the turbine mechanical power.
Overall, it seems that the power characterization of miniature turbines, as an interdisciplinary problem, suffers from a gap between the fluid mechanical aspect (i.e., the aerodynamic rotor performance) and the electrical one (i.e., DC-generator characteristics). The purpose of this paper is to design and fully test a new generation of miniature wind turbines, more representative of large-scale turbines in the field. The new miniature turbine is suitable for wind tunnel experiments which aim at studying the ABL interaction with wind turbines as well as turbine interactions with each other within wind farms. The wind turbine performance is characterized for different operating conditions. In particular, a new setup is developed to directly measure the torque of the rotor shaft under different operating conditions. Moreover, the paper provides a better understanding on the performance of DC generators in order to bridge the knowledge gap between the aerodynamic and electrical aspects of a wind turbine. The remainder of this paper is divided into three sections. In Section 2, the design of the miniature turbine is elaborated. The characterization of the wind turbine performance, including direct torque measurements, is given in Section 3. Finally, a summary is presented in Section 4.
Wind Turbine Design

Rotor Size
The ABL depth typically varies from a few hundred meters in stable conditions to 3 km in very unstable conditions [32] . The size of commercial wind turbines is in the order of 100 m nowadays [33] . To properly simulate the ABL-turbine interaction in the wind tunnel, the size of the miniature wind turbines should be therefore small enough compared to the incoming boundary layer. More importantly, in order to study the interaction between wind turbines in wind farms, miniature turbines have to be small enough with respect to the wind tunnel cross-sectional area so that wind tunnel blockage effects are ensured to be minimal. On the other hand, the use of excessively small miniature turbines worsens the scaling issues associated with the difference in Reynolds number between the ABL and wind tunnel flows. After consideration of the above-mentioned limitations as well as the typical size of boundary-layer wind tunnels, the rotor diameter of the miniature turbine d is chosen here to be 15 cm, which is comparable to the size of the miniature turbines used in prior wind tunnel studies (e.g., [3] [4] [5] 11, 12] ).
In this study, the turbine is placed in the new boundary-layer wind tunnel of the WiRE laboratory of EPFL. The test section of the wind tunnel is 28 m long, 2.6 m wide and 2 m high. The ratio of the miniature turbine frontal area to the wind tunnel cross-sectional one is less than 0.004, so blockage effects are negligible. More information about the wind tunnel can be found in the previous works of the authors (e.g., [18, 19, 21] ).
Airfoil Geometry
Due to the small size of the rotor, the rotor blades operate at very low chord Reynolds numbers Re c given by
where ρ and µ are the density and kinematic viscosity of the air, respectively, c is the chord length of the blade cross-sectional area and u rel is the relative flow velocity with respect to the blade. The value of Re c for a miniature wind turbine with d = 15 cm is estimated to be lower than 4 × 10 4 for incoming velocities u less than 10 ms −1 . Prior studies (e.g., [34, 35] ) showed that conventional airfoils for high Reynolds numbers (e.g., NACA airfoils) have a poor performance if they operate in very low Reynolds numbers. In general, an optimum airfoil (i.e., the one with the maximum lift to drag ratio) for very low Reynolds numbers has been found to have:
• a small thickness [34, 36] , • a 5% circular arc camber [34] [35] [36] [37] , • a sharp leading edge [34] [35] [36] .
Moreover, as another advantage of thin cambered plates, they are found to be relatively insensitive to the turbulence level [35, 37] and the surface roughness [36] . In order to satisfy the above-mentioned requirements, the airfoil is chosen to be a plate with a 5% circular arc camber, 5% maximum thickness and very sharp edges, as shown in Figure 1 with the blue color. The rotor was built from liquid photopolymer resin by 3D printing technology with a polyjet process and a resolution of 16 µm. The first tests of the rotor in the wind tunnel revealed that rotor blades could not tolerate the incoming wind with high velocities and were slightly deformed during the measurements. Due to construction limitations, we therefore had to modify the airfoil geometry to a cambered plate with a constant thickness of 5% and chamfered edges as shown in red color in Figure 1 . This airfoil geometry is employed all along the rotor blade, except for the region very close to the blade root where the blade is thickened to improve the blade rigidity.
Based on the data reported in the above-mentioned studies on cambered airfoils in very low Reynolds numbers, the design angle of attack α is chosen to be 4 • and the values of C L and C L /C D at the design condition are estimated to be 0.75 and 13, respectively. Note that a rather conservative design angle of attack was chosen to avoid stall conditions, as similarly done in prior studies (e.g., [38] ). It will be of interest to study the performance of the selected airfoil in future studies by means of wind-tunnel measurements or numerical simulations. 
Design Tip-Speed Ratio
The tip-speed ratio λ is defined as RΩ/ū h , where R is the rotor radius and Ω is the rotor rotational velocity. In order to select the design tip-speed ratio, one should consider different losses which prevent the turbine's efficiency to reach the Betz limit. In addition to losses due to the wake rotation, drag losses can affect the power extracted by the turbine [33, 39] , especially for miniature turbines operating at very low Reynolds numbers. The former decreases with the increase of tip-speed ratio. In addition, the airfoil has a better performance at higher tip-speed ratios due to the higher operating Reynolds number. On the other hand, the effect of the drag force on the power reduction is more severe at higher design tip-speed ratios [40] . This can be readily explained by the schematic of the blade element shown in Figure 2a . As can be seen in the figure, the angle of the relative wind ϕ becomes smaller if the turbine is designed to rotate faster (i.e., higher design tip-speed ratios). This increases the projection of the drag force in the tangential direction (i.e., F D cos ϕ), and decreases the one of the lift force (i.e., F L sin ϕ). As a result, in contrast to wake-rotational losses, drag losses increase for higher design tip-speed ratios. There is therefore a specific design tip-speed ratio at which the achievable power is maximum for the turbine.
The effect of drag losses on the turbine performance can be seen quantitatively in Figure 2b . This figure shows the variation of the achievable power coefficient C P, ach as a function of the design tip-speed ratio λ design for different values of C L /C D . In the following, we briefly explain how C P, ach is computed for a given λ design and C L /C D . In general, the value of C P for a turbine can be calculated by [39] 
where a and a are the normal and angular induction factors, respectively, and λ r is the local tip-speed ratio and equal to λ(r/R) for a blade element located at the radial position r. Based on Glauert's method, for each value of λ and C L /C D , C P in Equation (3) has the optimal value (i.e., C P = C P, ach ) if [41] 
From Figure 2a , tan ϕ can be expressed by
Solving the system of Equations (3)- (6) gives C P, ach for a given λ design and C L /C D . The maximum value of C P, ach for a given C L /C D is indicated in Figure 2b with a red dot. As seen in the figure, the value of λ design corresponding to the maximum achievable power increases with the increase of C L /C D . As a result, λ design for large-scale turbines is normally high given C L /C D is quite high at high Reynolds numbers. For instance, the value of λ design for the NREL 5MW rotor is 7.5 [42] . Figure 2b , however, shows that the maximum achievable power for the miniature turbine (with C L /C D estimated to be close to 13) occurs at λ design ≈ 2, which is much lower than typical values of λ design for large-scale turbines in the field. In order to have a design tip-speed ratio relatively closer to the one of large-scale turbines, while maintaining a high value of C P , we select the value of λ design to be 4.5. It is worth mentioning that a higher value of λ design (e.g., λ design = 6) can be basically chosen for the miniature turbine. However, as shown in Figure 2b , this leads to a decrease in the value of achievable C P . In addition, the chord length and consequently the blade thickness decrease with the increase of λ design . This imposes some difficulties regarding the built of the turbine with both enough accuracy and rigidity. Note that the effect of tip losses is neglected in the above discussion for the sake of simplicity. See Sørensen [41] and Sørensen et al. [24] for more information on tip losses and tip correction methods. 
Optimum Chord and Twist Distributions
The optimum distributions of chord and twist were obtained based on Glauert's optimum rotor [43] . See Sørensen [41] for a detailed discussion on the optimum rotor design. Figure 3 shows the chord and twist distributions of the rotor blade. In order to limit the size of the rotor hub and smooth the chord variation along the blade span, we had to modify the distribution of the chord especially close to the root as shown in the figure. We believe that this modification does not significantly affect the turbine performance as the modification affects mostly the region close to the root, which has only a small contribution to the total torque generation. Figure 4a shows a sketch of the new rotor. The three-dimensional sketch of the whole rotor can be found as an electronic supplementary material from which detailed information on the rotor blade can be extracted. Moreover, the rotor can be readily employed by other researchers. To facilitate referring to this turbine rotor in future studies, we call it WiRE-01 rotor. 
Wind Turbine Performance
Thrust Force
The turbine is placed in the WiRE wind tunnel under uniform inflow conditions. A highly sensitive multi-axis force sensor with the resolution of 1.5 × 10 −3 N is connected to the bottom of the turbine tower in order to measure the thrust force exerted on the turbine by the incoming wind. The free-stream velocity is measured with a Pitot tube. Both thrust and velocity measurements were performed for a period of 60 s with the sampling frequency of 1000 Hz. Figure 4b shows the variation of the thrust coefficient C T as a function of the tip-speed ratio λ. The figure shows that the value of C T for the miniature turbine reaches the value of 0.8, which is similar to the one of large-scale turbines in the field (e.g., C T = 0.8 for Vestas V80-2MW wind turbine [44] ). As mentioned earlier, having realistic values of C T is very important as the overall strength of the wake largely depends on the value of C T . Figure 4b also shows that the value of C T slightly decreases for high tip-speed ratios, which has been also observed in prior wind tunnel studies (e.g., [10] ). This behaviour is, however, in contrast with the common assumption that C T monotonically increases with the increase of the tip-speed ratio, usually observed for large-scale turbines [33] . In the following, we try to explain this discrepancy by studying the dependence of C T on λ for a single annulus.
Let us consider an isolated single annulus with an arbitrary radius r containing B blade elements, where B is the number of blades (B = 3 here) with a local tip-speed ratio equal to λ. The airfoil geometry of the blade element is assumed to be NACA0012 operating at Re c = 1.76 × 10 6 , which is in the range of Re c for large-scale turbines. Blade-element momentum (BEM) analysis is performed to plot the variation of C T as a function of the normal induction factor a for the annulus in Figure 5 . In Figure 5a , the design tip-speed ratio λ design is 4 while it is 6 in Figure 5b . Based on the tabulated airfoil data [45] , the value of α design and C L,design are selected as 6 • and 0.63, respectively, for both design tip-speed ratios. Colored lines show the value of C T for an annulus from the blade-element approach, whereas the black lines show the value of C T based on the momentum theory. Note that for a > 0.4 (i.e., turbulent wake state), the Glauert empirical relation is plotted as the momentum theory is invalid in this region [39, 46] . Based on the BEM theory, the intersection of each colored line with the solid black line shown by hollow circles in Figure 5 represents the operating condition of the blade element for the given tip-speed ratio [47] . As seen in the figure for λ design = 6, both values of C T and a increase monotonically with an increase of λ. Consequently, the blade element operates in turbulent wake state (i.e., a > 0.4) at high tip-speed ratios. In contrast, for λ design = 4, both values of C T and a increase initially and then decrease with an increase of λ. In this case, the blade element ultimately operates in the propeller state (i.e., a < 0) at very high tip-speed ratios. This explains why the variation of C T at high tip-speed ratios is different for the miniature turbine ( Figure 4b ) compared with large-scale turbines. Based on the above discussion, it is simply due to the selection of a lower design tip-speed ratio for the miniature turbine, and it is not caused by the difference in chord Reynolds number between the miniature turbine and its large-scale counterparts. Now, the question is why the variation of C T versus λ is so sensitive to λ design . We try to answer this question by simplifying the governing equations for the considered annulus operating at high tip-speed ratios.
The value of C T for the annulus is given by [41] 
where σ = Bc/2πr. Now, we simplify Equation (7) for λ → ∞. In this case, ϕ → 0 from Figure 2a , and one can therefore assume that sin ϕ ≈ ϕ and cos ϕ ≈ 1. Equation (7) can be then reduced to
The term ϕC D /C L in the above equation can be neglected with respect to unity as both ϕ and C D /C L are small. Moreover, the angular induction factor a is small at high tip-speed ratios, so from Figure 2a , ϕ ≈ (1 − a)/λ. Equation (8) can be thus simplified to
For an ideal airfoil and small angles of attack, C L ≈ 2πα [48] , where α = ϕ − θ T . Equation (9) can be therefore rewritten as
The above equation states that the value of C T has a linear relationship with a for high tip-speed ratios. The slope of this linear relationship is negative and its magnitude increases with an increase of λ. This is in agreement with the BEM predictions at high tip-speed ratios for both design tip-speed ratios shown in Figure 5 . Furthermore, based on Equation (10), the x-intercept (i.e., 1 − λθ T ) of this linear relationship is a function of twist angle θ T . For a low design tip-speed ratio, the twist angles θ T is large, so the x-intercept rapidly decreases with an increase of λ. For a high design tip-speed ratio, in contrast, the twist angle θ T can be either a small positive value or a negative one, so in both cases, the x-intercept does not largely decrease with an increase of λ. This is confirmed by Figure 5 , showing that the x-intercept of the C T curves (colored lines) sharply decreases with increasing λ for λ design = 4 (θ T = 3.4 • ), while it experiences little change for λ design = 6 (θ T = 0.31 • ). The sharp decrease of the x-intercept of the colored lines in Figure 5 for λ desgin = 4 leads to the reduction of the operating C T (intersecting point with the solid black line shown by hollow circles) for high tip-speed ratios. One can therefore conclude that the different variations of C T versus λ observed for different design tip-speed ratios are due to the difference in the value of the twist angle. It is also important to note that a rotor contains multiple annuli at different radial positions. Thus even if a high value is chosen for the design tip speed ratio of the rotor, the local design tip-speed ratio for annuli close to the root of the rotor is much lower. This can explain why the central part of the rotor can operate as a propeller (i.e., a < 0) at very high tip-speed ratios as experimentally observed by prior studies (e.g., [18, 25] ).
Power Extraction
Wind Turbine: Energy Conversion
As mentioned in Section 1, one of the crucial tasks in wind tunnel studies of wind turbines is to accurately determine the power extracted by the wind turbine (i.e., mechanical power P mech ). The mechanical power is converted to electrical power in the generator as shown in Figure 6 . All the mechanical input power P mech is, however, not available for the conversion to electrical power, mainly due to friction losses. The converted power is denoted by P conv in Figure 6 and it is equal to P mech − P f , where P f denotes power losses mainly due to the friction of the bearings and the friction between the moving parts of the machine and the air [49] . Moreover, as shown in the figure, P conv is not entirely available at the machine's electrical terminals. Some part of this converted power has to overcome electrical losses in the generator. Electrical losses are equal to RI 2 , where R is the armature resistance plus the resistance of the brush contacts on the commutator [49] . Note that R is obviously different from the external resistance used to electrically load the generator. In general, the converted power P conv can be expressed in terms of Q em Ω, where Q em is called electromagnetic torque [50] (also called armature torque Q a [51] ). Thus,
where Q sh and Q f are the shaft torque (i.e., P mech /Ω) and the friction torque (i.e., P f /Ω), respectively. The generator used for small model wind turbines is usually a permanent-magnet DC (PMDC) machine. Figure 7 shows the equivalent electrical circuit of a PMDC machine in the generator mode. If a PMDC generator operates in steady-state conditions, the inductance L term in Figure 7 can be neglected [52, 53] . Hence,
where V ind is the induced voltage (i.e., induced electromotive force, EMF) due to the motion of the armature in the generator. Note that, from Equation (12), V ind is always bigger than the terminal voltage V for a generator. Moreover, for PMDC machines in general, one can show that [53] V ind = KΩ,
where K is called the EMF constant in Equation (13) and the torque constant in Equation (14) . This constant is the same in the both equations if they are expressed in SI units. The value of K basically depends only on intrinsic characteristics of the PMDC machine (e.g., machine size, number of poles and magnetic field magnitude) and does not change with operating conditions [49] . Equation (14) can be used to find the electromagnetic torque Q em . In order to estimate the value of the shaft torque Q sh , one has to therefore model the friction torque Q f . In general, the friction torque Q f varies with the rotational velocity Ω. Different friction models (e.g., Stribeck friction) have been suggested in the literature [54] [55] [56] [57] . A linear relationship between Q f and the rotational velocity Ω similar to the one used by Canudas et al. [54] is considered in this paper due to its simplicity. Hence,
where α and β are constants whose values can be estimated based on the DC-machine data provided by the manufacturer. Direct torque measurements will be employed in the following to see whether this method can acceptably predict the shaft torque Q sh .
Direct Measurement of Shaft Torque Q sh
A high-precision rotary torque sensor from Scaime Inc, France. with an operating range of ±10 mNm and an accuracy equal to 0.1% of full scale is used in the current study. In order to measure the shaft torque of the generator, the shaft of the rotary torque sensor is directly connected to the shaft of the generator. It is not practically possible to mount the torque sensor between the rotor and the DC generator in the wind tunnel. A separate setup is therefore built as shown in Figure 8 . In this setup, a load machine which is basically a more powerful electrical motor simulates the incoming wind effect by rotating the shaft of the torque sensor and the DC machine. Both the load machine and the DC machine are connected to servo controllers so that their operating conditions are separately controlled and monitored. The rotational velocity of both of them are also measured by attached rotary encoders. Note that the use of a separate setup for torque measurements enables us to systematically study the effect of each variable (e.g., rotational velocity Ω) on the performance of the DC generator, keeping other variables (e.g., electrical current I) unchanged. This cannot be easily done if the torque sensor is directly connected to the miniature turbine in the wind tunnel.
In general, the operating condition of a miniature turbine can be uniquely described by the value of its rotational velocity and the generated electrical current. In this torque-sensor setup, the rotational velocity of the load machine and the generated electrical current of the DC machine are separately controlled. Therefore, any operating condition of the miniature turbine can be simulated by the torque-sensor setup. Note that the setup can be also used to measure the shaft torque of the DC machine in motor mode. To do so, we only need to reverse the direction of the energy conversion in the setup; i.e., the DC machine acts as a motor to rotate the load machine which acts as a generator in this case.
Rotary torque sensor
Load Machine DC machine Figure 8 . Schematic of the setup for direct measurements of the shaft torque Q sh of DC generators.
For the sake of completeness, we study the performance of three brushed DC machines with different sizes and power, all manufactured by Maxon company. All of them are suitable for being used in small-sized wind-turbine models. Table 1 shows their characteristics as provided by the manufacturer. A more powerful electrical machine with a nominal torque of 32 mNm is also used as the load machine. Table 1 . Manufacturer-provided data of the DC machines studied in this paper.
DC-Machine I DC-Machine II DC-Machine III
DCX10L
DCX14L DCX16L
Outer Figure 9 shows the difference between the measured shaft torque Q sh and KI as a function of the rotational velocity Ω for different electrical currents and DC machines in both generator and motor modes. If Equations (11) and (14) stated in Section 3.2.1 are valid for DC machines in real situations, Q sh − KI should not depend on the electrical current I because, as mentioned earlier, it should be equal to the friction torque Q f that varies only with the rotational velocity Ω. The figure shows that, although the relationship between Q sh − KI and Ω slightly changes with the electrical current in some cases, the overall agreement is acceptable and one can assume that Q sh ≈ KI + Q f (Ω). Note that the small disagreement specially observed for DC-machine II might be due to the fairly inaccurate value of the torque constant K provided by the manufacturer.
The conclusion drawn above is in contrast with what was suggested by Kang and Meneveau [27] in their pioneering study. They compared the manufacturer-provided data with measured quantities and reported a significant deviation. Specifically, they compared the value of KI with the measured P el /Ω, and showed that there is a big difference between them. In addition, they showed that V is not linearly proportional to Ω. Firstly, note that KI should be compared with P conv /Ω, which is clearly bigger than P el /Ω due to the electrical losses. Secondly, as stated in Equation (13), V ind is supposed to be linearly proportional to Ω, not V. In fact, even from their own data, the shaft torque is found to be linearly proportional to the electrical current, and the value of the slope for this linear relationship is very similar to the manufacturer-provided value of the torque constant K (Equation (4) in Kang and Meneveau [27] ). This in turn confirms the fact that Q sh ≈ KI + Q f . . Measured values of (Q sh − KI) versus the rotational velocity Ω for different electrical currents and DC machines in both motor and generation modes. The black lines show the prediction of the friction torque Q f based on Equation (15) and using the manufacturer-provided data. Figure 9 also shows that the value of Q sh is bigger than Q em in the generator mode while it is smaller than Q em in the motor mode. This is expected as the energy is converted from the electrical form to the mechanical one in motors, contrary to generators. Furthermore, it can be seen that the friction torque Q f increases with the increase of rotational speed Ω, as expected. The figure also shows that a linear relationship similar to Equation (15) can acceptably approximate the variation of Q f with Ω, even though a polynomial fit matches better. One possible explanation for this non-linear behavior is that core losses are neglected in this study compared to friction losses. See Chapman [49] for more information.
The data shown in Figure 9 can be used to find the values of α and β in Equation (15) . We, however, wonder how well theses values can be estimated based on the data of the DC machines provided by the manufacturer. This could be of great interest particularly for those who cannot perform direct torque measurements and therefore can only use the manufacturer-provided data. To do so, one can use the DC-machine data at nominal and no-load operating conditions presented in Table 1 . Note that manufacturer-provided data are usually for DC machines in motor mode. By using these data, hence, we implicitly assume that the magnitude of the friction torque is similar for both modes, which is supported by the data of Figure 9 . At nominal conditions, friction torque is equal to KI N − Q N for a DC motor, where I N and Q N are the electrical current and the shaft torque at nominal conditions, respectively. At no-load conditions, Q sh is equal to zero for a DC motor and thereby Q f = KI n , where I n is the electrical current at no-load conditions. The predictions of the Q f based on the data of Table 1 are shown by black solid lines in Figure 9 . Clearly, they are not in good agreement with the measured data, especially for DC machines I and III. However, they might be still useful for making a rough estimation about the magnitude of the friction torque. This will be further discussed in the following.
3.2.3. Power Coefficient C P of the Miniature Turbine Figure 10 shows the variation of the power coefficient C P of the miniature turbine as a function of the tip-speed ratio λ at the free-stream velocity of 8 ms −1 . In order to change the tip-speed ratio, a servo controller (ESCON 36/2 DC from Maxon, Switzerland) is used to change the electrical loads on the DC generator, thereby controlling the turbine rotational velocity. To see the effect of the DC generator on the wind-turbine performance, the data are shown for the rotor connected to both DC generators II and III under the same incoming flow conditions. For each DC generator, the value of the power P is calculated based on: (i) the measured shaft torque Q sh multiplied by Ω; (ii) the electromagnetic torque Q em multiplied by Ω; (iii) the electromagnetic torque Q em plus the friction torque Q f multiplied by Ω, where Q f is estimated based on the data provided by the manufacturer as discussed in Section 3.2.2; and finally (iv) the terminal voltage V times the electrical current I. As shown in the figure, the value of C P based on the measured mechanical input power (P mech = Q sh Ω) is very similar for both cases. This is expected as the mechanical power does not depend on generator characteristics. The figure also shows that the values of C P based on the converted power (i.e., P conv = Q em Ω) are smaller than the ones based on the mechanical power, and they are different for the two DC machines. This can be explained by the fact that P conv = P mech − P f and the value of friction losses (i.e., P f ) depend on generator characteristics. It is also interesting to note that the difference between P conv and P mech is smaller for lower tip-speed ratios. At lower tip-speed ratios, the turbine rotates slower so the friction torque is smaller. Moreover, the value of the electromagnetic torque is generally quite high for low tip-speed ratios, so the friction torque becomes less important.
By modeling the friction torque (Equation (15)) and adding it to the converted power, the figure shows that one can have a rather acceptable estimation of the mechanical input power. This approximation method is more promising if the shaft torque is not much smaller than the nominal value because, in this case, the friction torque is likely to be negligible compared to the electromagnetic torque. The DC machine should not, however, work beyond the nominal operating range as the linear proportionality between the electromagnetic torque and the electrical current does not necessarily hold anymore, and working in these conditions can also permanently damage the machine [58] . It is also important to remind that DC-machine characteristics change with temperature, so the manufacturer-provided data are not likely to be reliable at high temperatures [58] . Figure 10 also shows the value of C P based on the generated electrical power P el for both DC generators. As seen in the figure and also shown by Kang and Meneveau [27] , the generated power is much smaller than the extracted one due to mechanical and electrical losses. More importantly, the figure shows that the use of electrical power can lead to misleading information on wind turbine characteristics. For instance, it significantly overestimates the value of the optimal tip-speed ratio λ opt , at which the extracted power P mech is maximum. The reason is that electrical losses in the generator (i.e., RI 2 ) rapidly increase with the increase of the electrical current I. The value of P el therefore becomes very small for lower tip-speed ratios (i.e., higher electrical currents). This is why the maximum generated power in Figure 10 occurs at tip-speed ratios higher than the optimal one. )Ω)
DC machine II DC machine III The variation of the power coefficient C P (based on measured P mech ) with the tip-speed ratio λ is shown in Figure 11 for different incoming free-stream velocities. As seen in the figure, the value of C P increases with the increase of the incoming flow velocity, which is due to the better performance of the rotor blades at higher Reynolds numbers. This means that the value of C P for the miniature turbine varies with both tip-speed ratio and wind speed, which is in agreement with prior studies (e.g., [25] ). The dependence of C P on the wind speed is expected to be less for utility-scale turbines as the airfoil performance does not significantly change with wind speed at high Reynolds numbers. The value of C P for the miniature turbine can be as high as 0.4 as shown in the figure, which is quite remarkable for a miniature wind turbine with d = 15 cm. The optimal tip-speed ratio λ opt varies slightly with the change of the incoming velocity but overall the best performance occurs at λ opt ≈ 4 which is smaller than the design tip-speed ratio (λ design = 4.5). The difference is due to the use of likely inaccurate airfoil design information. An uncertainty analysis is also provided in Appendix A to estimate the uncertainty of C P measurements for the miniature turbine. It is found that the value of the relative standard uncertainty for C P is about ±6% and ±3% at the optimal tip-speed ratio forū equal to 5 m/s and 8 m/s, respectively.
Summary
A new three-bladed horizontal-axis miniature wind turbine with a diameter of 15 cm, suitable for wind tunnel studies of wind turbine wakes and wind farm flows, is designed and fully characterized in this study. The main motivation for the design of a new miniature turbine is to achieve higher and more realistic (similar to those of field-scale turbines) values of C T and C P , compared with previously used miniature wind turbines. A new blade profile, a 5% thick plate with a 5% circular arc camber and sharp leading edge, is employed for the new miniature turbine. The turbine designed based on Glauert's optimum rotor with a design tip-speed ratio equal to 4.5 is built with 3D-printing technology.
Force measurements are performed in the wind tunnel to calculate the thrust coefficient C T of the miniature turbine. The magnitude of C T of the miniature turbine is found to be around 0.8 at the optimal tip-speed ratio, which is similar to the one of large-scale turbines. Moreover, it is found that the value of C T slightly decreases at high tip-speed ratios for the miniature turbine, contrary to the one of large-scale turbines. A simple theoretical analysis is employed to show that the variation of C T with tip-speed ratio λ can be different at high tip-speed ratios depending on the value of the blade twist angle.
For the sake of accurate measurement of the turbine extracted power, a new setup is developed to directly measure the torque of the rotor shaft. A high-precision rotary torque sensor with an operating range of ±10 mNm is directly connected to the DC generator, and a load machine simulates the incoming wind effect by rotating the shaft of the torque sensor and the DC generator. The measurements show that the value of power coefficient C P can reach to around 0.4, which is considerable for a miniature turbine with this small size. Particular attention is also focused on the conversion of mechanical energy into electrical one in the generator. To this end, the performance of three different DC generators is systematically studied for various operating conditions. It is found that the use of the manufacturer-provided data for the tested generators can yield a fairly acceptable estimation of the turbine extracted power.
Flow dynamics and wake characteristics (e.g., meandering motion) of the new miniature wind turbine under boundary-layer inflow conditions are presented in Part II of this study [59] .
Supplementary Materials: The following is available online at www.mdpi.com/1996-1073/10/7/908/s1, File S1: Three-dimensional sketch of WiRE-01 rotor. 
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Appendix A
This appendix contains an uncertainty analysis of power coefficient measurements for the miniature wind turbine. The incoming free-stream velocity is obtained from Pitot-tube measurements, and thus it is equal to 2p d /ρ, where p d is the dynamic pressure measured with the Pitot tube. The value of C P stated in Equation (1) can be therefore written as
The overall uncertainty of C P denoted by δC P can be calculated from 
where δQ, δΩ, δQ, δρ, δp d and δA are the uncertainties of Q, Ω, Q, ρ, p d and A, respectively. Note that in Equation (A2), uncertainties of measured variables are assumed to be independent from each other, and thus the correlation terms are neglected. See Coleman and Steele [60] for more information. The uncertainty for each variable is due to both random and bias errors. The former is, however, relatively negligible provided the variables are averaged over a long enough time period. In the following, the uncertainty of each variable due to the bias error will be discussed:
• Uncertainty of Q: Based on the data provided by the manufacturer, the uncertainty of the measured torque Q is estimated to be 0.01 mNm.
• Uncertainty of Ω: The rotational velocity Ω is measured with a rotary digital encoder with 128 counts per turn so its uncertainty can be assumed to be negligible with respect to those for other variables.
• Uncertainty of ρ: The air density is estimated based on the ideal gas law; i.e., ρ = p 0 /R a T a , where p 0 is the atmospheric pressure, R a is the specific gas constant of air and T a is the air temperature measured with a thermometer. The value of δρ can be therefore obtained from
where δp 0 and δT a are the uncertainties of p 0 and T a , respectively. The former is estimated to be 2% of p 0 based on the meteorological data in relation to the static pressure distribution over Switzerland, and the latter is 0.5 • C based on the manufacturer data.
• • Uncertainty of A: It is equal to 2πRδR, where δR is the uncertainty of R (equal to 16 µm for the employed 3D-printer system). Now, the overall uncertainty of C P can be calculated. In general, among the uncertainty terms of the measured variables in Equation (A2), those related to the torque Q (i.e., first term on the right-hand side) and the dynamic pressure p d (i.e., fourth term on the right-hand side) are found to be the dominant ones. It is also worth mentioning that, as the confidence level of the uncertainties provided by manufacturers is not usually reported, we assume that they are all standard uncertainties (i.e., with the confidence level of 68%) which is a rather conservative assumption. Figure A1 shows the variation of C P with λ for two different incoming velocities, and the values of the standard uncertainty are also shown with error bars in the figure. As seen in both Figure A1a ,b, the value of the uncertainty decreases with the decrease of the tip-speed ratio. This is due to the fact that all the terms on the right-hand side of Equation (A2) except for the neglected second term are proportional to the rotational velocity Ω, so the overall uncertainty reduces at lower tip-speed ratios. Moreover, the figure shows that the measurement uncertainty decreases by increasing the incoming velocity. At the optimal tip-speed ratio, the value of the relative standard uncertainty for C P is about ±6% and ±3% forū h equal to 5 m/s and 8 m/s, respectively. 
